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ABSTRACT

A moment frame lateral load-resisting system was developed in which inelastic deformations due to seismic loading were intended to be
isolated to easily replaceable WT components. Fully bolted connections were utilized to facilitate simple component installation and replace-
ment. In Part | of this series, WT components for the moment frame system were modeled using finite element analysis. Full-scale component
testing was performed to verify analytical results. Parameters taken from modeling and testing results were used to develop design provi-
sions. In Part Il of this series, an example building was designed using the provisions developed and analyzed under simulated earthquake
accelerations to develop appropriate seismic performance factors. WT components designed using recommended geometric parameters
resulted in desirable behavior. Recommended design equations correlated well to experimental test results. Experimental results suggested
WT components designed using the recommended provisions exhibit adequate low-cycle fatigue performance and deflection capacity to be
used with wide flange beams up to a nominal depth of 30 in. (762 mm). Nonlinear time-history analysis suggests seismic performance factors
currently published for steel special moment frame systems are appropriate for the proposed WT moment frame system.

Keywords: partially restrained WT connection, seismic moment connection, finite element analysis, nonlinear analysis, performance-based

seismic design.

ccording to the Hazards U.S. Multi-Hazard (HAZUS-

MH) analysis performed by the Federal Emergency
Management Agency, the costs associated with a cata-
strophic seismic event are significant (FEMA, 2008). It can
be argued, however, that the many indirect, long-term costs,
which are difficult to measure and are admittedly neglected
by FEMA, may have an even greater impact. As evidenced
by the aftermath of Hurricane Katrina, a catastrophic event
can produce societal effects on an area that necessitate
years, or even decades, of recovery. By mitigating the initial
impact of a significant seismic event and, more importantly,
by reducing the direct costs and duration of repair and re-
covery for the building inventory in a given area, long-term
costs can be dramatically reduced.

Seismic load resisting systems for structural steel build-
ings have undergone considerable evolution over the past 15
years. The major theory driving current design approaches is
to provide systems that remain stable under relatively large
story drifts while simultaneously experiencing controlled
inelastic deformations to dissipate energy (FEMA, 2003).
As can be seen by various systems described in the 2005
AISC Seismic Provisions for Structural Steel Buildings
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(AISC, 2005a), this is primarily accomplished by propor-
tioning elements such that specific major components ex-
perience inelastic deformations. In addition to components
that are not intended to resist lateral loads, components that
connect major lateral-load-resisting elements are anticipated
to remain substantially elastic and undergo minimal dam-
age. While the idea of isolating large deformations to antici-
pated components and locations has considerable merit, the
current design methods that apply this concept have some
inefficiencies and shortcomings; specifically, considerable
field welding is often required and inelastic deformations
are intended to occur in primary beams or braces.

Primary structural components such as beams and col-
umns are extremely expensive by structural standards and
are difficult to adequately repair or replace, particularly
when equipped with fully welded connections. Typically,
these components are, by design, fully integrated with the
overall structural scheme and, in most cases, are relied upon
to carry gravity loads in addition to lateral loads. There-
fore, repair of such components after significant damage
is often not prudent or realistic, leaving replacement as the
only viable option. The resulting expense to the owner or
insurer from a significant seismic event could be unmanage-
able, particularly when considering the additional indirect
costs associated with having a building out of service for
a considerable period of time. For essential facilities where
demolition is not an option, difficult in-service repairs also
compound the cost.

New innovations in seismic load resisting systems
have recognized that the approach of isolating inelastic
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deformations to primary, permanently attached components
may not be an appropriate solution (Malley, 2000). Instead,
by isolating inelastic deformations to easily accessible, bolt-
ed components that can be relatively inexpensively removed
and replaced, a serviceable seismic load resisting system can
be achieved. Herein, a serviceable—or easily repairable—
system is defined as one in which inelastic deformation has
been accommodated in such a way that the damaged ele-
ments can be reasonably removed and replaced with similar
elements after a significant seismic event. Other elements
that cannot be reasonably removed and replaced remain sub-
stantially elastic and can remain in service.

Serviceable seismic-load-resisting systems, which lend
themselves to a performance-based design approach, offer
many advantages. Components that are relatively easy to
replace are characteristically easy to install initially. There-
fore, the field labor associated with the initial installation of
a serviceable system may be reduced over the current labor-
intensive installation processes that involve considerable
field welding.

To adequately address a wide spectrum of building pro-
gram needs, proposed serviceable connections and compo-
nents have been developed for moment frame and braced
frame systems. Only the moment frame system, referred to
as ductile WT moment frames (DWTMF) is addressed here.
For maximum economy, in addition to the aforementioned
potential reduction in field labor, the proposed systems uti-
lize readily available or easily fabricated components de-
signed to carry minimum force levels as required by the
applicable building code.

The results from the evaluation of the DWTMF system
indicate that only 18 standard milled WT sections may suit-
ably achieve the required deformation for special moment
frame (SMF) systems. The modeled performance of these
sections, however, is promising. The sections can also be
used with a variety of beam depths, making the system rela-
tively versatile. Reasonable provisions for the selection of
the WT section and associated bolt configurations, as well
as for the design of all components within the WT connec-
tion, are developed. The design of an example building us-
ing the recommended provisions is presented and appears
viable. Appropriate seismic design coefficients and factors
are evaluated as part of a design example. Design aids using
the recommended provisions are also presented.

BACKGROUND
Seismic Design Overview

The performance criteria for seismic design currently ad-
opted by reference in the 2006 International Building Code
(IBC) are based on preserving life safety by avoiding ma-
jor structural failure or collapse (FEMA, 2003). In achiev-
ing these criteria, structures are anticipated to experience
inelastic deformations within the primary structural system
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during significant seismic events (ASCE, 2005). A return
period of 2,475 years (2% probability of exceedance in 50
years) is used to develop the magnitude of the accelerations
associated with the maximum considered earthquake (MCE)
in most regions. Based on the judgment of the Building Seis-
mic Safety Council (BSSC), a determination was made that
structures will exhibit adequate resistance to collapse if the
MCE accelerations are reduced by a factor of 1.5 (FEMA,
2003), which would then be the basis for the elastic design of
a structure subjected to seismic loading. Designing a struc-
ture to remain elastic during a seismic event has been de-
termined to be cost prohibitive for most types of structures;
consequently, some degree of inelastic behavior within the
primary structural system is assumed for typical building
design (ASCE, 2005). Using conventional inelastic design,
the return period for a seismic event anticipated to result in
inelastic deformations within a structure can range from less
than 25 years to 500 years, depending on the site and level
of ductility assumed (Malhotra, 2005). Therefore, it is prob-
able that a structure will experience inelastic deformations
during the course of its service life in high seismic regions.

Serviceable Moment Frame Seismic Systems

While research has been conducted on several types of
bolted moment connections, bolted-bolted WT stub mo-
ment connections can be constructed economically and
have shown great potential to isolate inelastic deformations
to the connecting elements. WT stub moment connections
(see Figure 1) have been used in steel construction in the
United States for nearly 100 years. Depending on certain pa-
rameters (e.g., size of the WT section used, bolt gage on the
WT flange, bolt configuration), these connections can meet
the stiffness requirements for fully restrained connections
or can perform as relatively flexible partially restrained con-
nections. The behavior of the bolted assembly is complicated
with respect to both strength and stiffness. Deformation and
strength characteristics of the WT flange, WT stem, tension
in the bolts at the WT flange and bolts at the WT stem can
all influence performance. The effects of prying action on
the WT flange, friction and potential slip between the WT
stem and beam flange, and deformation at the bolt holes in
the WT stem and beam flange further complicate the behav-
ior of the assembly (FEMA, 2000).

While past research has primarily addressed the strength
of WT stub connections, Swanson and Leon (2000, 2001)
focused on exploring potential failure modes and stiffness
characteristics. The research revealed several component or
main member brittle rupture failure modes, as well as four
ductile yield mechanisms. The yield mechanisms were shear
yielding of the column, local flexure of the WT flange, ten-
sion yielding of the WT stem and flexural yielding of the
beam.



WT stub connections can be designed as either full
strength or partial strength. Full strength implies the con-
nections are capable of developing the available strength of
the beam, whereas the capacity of partial strength connec-
tions is less than the available plastic strength. The avail-
able flexural strength of the WT flange can vary greatly
with variations in WT flange thickness and the bolt gage on
the WT flange. WT flange strength is typically increased
by minimizing the bolt gage and/or increasing the flange
thickness, adjustments that also result in increased stiffness.
Swanson and Leon (2000, 2001) concluded that under cer-
tain parameters, significant plastic deformation can occur
within the WT connecting element, with the best perfor-
mance achieved through flexural deformations of the WT
flange coupled with tensile deformation of the WT stem
(FEMA, 2000). Configurations that allowed for large defor-
mations within the WT exhibited significantly more ductil-
ity and joint rotational capacity than stiffer configurations.

WT stub configurations that invoke substantial bending
in the WT flange provide increased connection ductility,
but they also have decreased stiffness. Therefore, isolation
of the inelastic deformations to WT components results in
partially restrained (PR) connections. Use of these connec-
tions necessitates a more robust analysis that takes into con-
sideration the load-deformation behavior of the connection
in addition to that of the primary members (AISC, 2005c¢).
Accuracy of the global model is thus dependent upon the
accuracy of the representation of the connection stiffness.
A monotonic stiffness model for WT stub connections that
takes into consideration the nonlinear behavior of many
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Fig. 1. WT moment connection.

components within the connection (i.e., tension bolt stiff-
ness, plastic or partially plastic WT flange hinges, slip and
bearing at shear bolts) was developed by Swanson and Leon
(2001). This complex model has many parameters and lends
itself to computer-based solutions. The model may be great-
ly simplified, however, by limiting the force levels in many
of the component mechanisms such that a relatively linear
behavior is maintained while inelastic flexural deformations
are induced in the WT flange. This approach to connection
stiffness is discussed in further detail later.

The 13th edition AISC Steel Construction Manual (AISC,
2005c¢) presents a prescriptive approach for determining the
available plastic flexural strength of a WT flange and the
required available strength of the tension bolts due to addi-
tional forces resulting from prying action. A diagram of the
geometry and forces considered in this approach is shown
in Figure 2. Differing from previous editions of the AISC
Specification, the 2005 AISC Specification for Structural
Steel Buildings (AISC, 2005b) determines flange strength
in terms of the rupture strength of the WT material, which
more accurately represents the actual strength of the flange.
However, plastic yield strength of a WT flange can be deter-
mined using similar equations as presented in draft design
provisions prepared for the AISC Connection Prequalifica-
tion Review Panel (AISC, 2007). Using the Load and Resis-
tance Factor Design (LRFD) approach, the design resistance
per tension bolt is calculated as

F_(1+0 12
¢Tn:¢p }I( . )ﬂ (1)
4b
where
p = tributary length per pair of bolts, equal to the

sum of half the distances to the adjacent bolts or

I
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Fig. 2. WT geometry and prying forces.

ENGINEERING JOURNAL / FOURTH QUARTER / 2011 / 267



member edge, but not more than the gage between
the pair of bolts, g, in. (mm)

Fy; = specified minimum yield stress of the WT mate-
rial, ksi (MPa)

’

o =1- d— = ratio of the net area at the bolt line to the

gross area at the face of the WT stem

d’ = width of the hole along the length of the WT (hole
size plus Yie in. (1.6 mm) for round holes), in. (mm)

ty = thickness of the WT flange, in. (mm)
d

y o= b—;b, in. (mm)

dp = bolt diameter, in. (mm)

The approach within the 2005 AISC Seismic Provisions
is for connections and/or components to be designed with
sufficient strength to develop the expected available yield
strength of a particular member mechanism. The expected
strength of the yielding member is calculated by multiplying
the available nominal strength of the member mechanism by
the ratio of the expected member yield stress to the specified
minimum Yyield stress. An additional multiplier, described
herein by the variable , is implemented in some systems
to account for strain hardening and/or other sources of
overstrength. Therefore, to ensure development of the plas-
tic flexural WT flange-yielding mechanism, the probable
design load for all other limit states of a WT stub moment
connection per bolt is calculated as

opRyFy, (148) 1,7
pre 3D’

@

where Ry, is the ratio of the expected yield stress to the speci-
fied minimum yield stress of the WT material as defined
in the 2005 AISC Seismic Provisions. Note that the coef-
ficient in the denominator of Equation 2 was adjusted to a
value of 3 rather than the value of 4 used in Equation 1. This
was done to express the probable strength, assuming ASTM
A992 steel, in terms of yield strength rather than rupture
strength, while still achieving a similar prediction.
Commonly used metal deck support details and rela-
tively thin rigid-insulation blockouts in concrete slabs can
be utilized to accommodate deformations within the WT
in addition to providing access to relatively simple replace-
ment of the WT at the top flange of the beam. Conceptual
deck support and slab block-out details are presented in
McManus (2010). The presence of a concrete slab could sig-
nificantly affect the behavior of the connections proposed
herein. Concrete slab joint details that allow separation at
moment columns while adequately transferring diaphragm
and gravity shear forces may be necessary to achieve desir-
able connection behavior. Slab considerations such as these
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are not addressed further herein, but they are recommended
for study in future work.

DUCTILE WT MOMENT FRAME
ANALYTICAL MODELING

Ductile WT moment connections are intended to invoke in-
elastic deformations in the WT flange while the connected
beam and column remain elastic. Thus, the replaceable ele-
ment experiences the most significant damage. The initial
hypothesis supposed that once accurate load distributions
of forces in the WT were known, relatively simple propor-
tioning of the gage of the bolts on the WT flange would
ensure initiation of flange yielding. The intent was also to
verify whether the prying behavior and strength predic-
tions presented in the 13th edition AISC Manual, as modi-
fied in Equation 2, were adequate to predict the expected
yield strength of the WT under large deformations. Also
of critical importance are accurate stiffness parameters for
the design of the WT. The research was intended to develop
load-deflection parameters for the design of moment frames
using partially restrained connections.

Nonlinear inelastic time-history analyses were executed
using enforced displacements. By conservatively assuming
all frame rotation in a ductile WT moment connection is
due to the deformation of the WT at the tension flange of
a beam of depth, d, the required deflection of the WT, A,
corresponding to the interstory drift angles, 0 (as specified
in Appendix S, Section S6.2 of the 2005 AISC Seismic Pro-
visions), can be calculated as A = d sin 0. This relationship
is shown graphically in Figure 3, which depicts A as the
deflection due only to deformation of the WT flange and

1

+ 4+
1

Fig. 3. Assumed connection rotation.



flange bolts. Realistically, deformations from other sources
such as the WT stem and bolted connections of the WT stem
to the beam flange also contribute to A. Using this equation
for A, the deformation associated with a 44-in. (1120-mm)-
deep beam and a 0.04-rad rotation, as required for special
moment frame systems within 2005 AISC Seismic Provi-
sions, is 1.76 in. (45 mm), which set the target deformation,
Atarger, used for all models.

An accurate understanding of the behavior of the WT
component under various bolt configurations is a primary
concern for proper performance of the ductile WT moment
frame system. Therefore, a progressive series of local mod-
eling of various WT specimens was performed in five phas-
es. Finite element analysis of WT stub assemblies performed
by Swanson et al. (2002) was used as a basis for developing
the finite element models analyzed herein. All WT speci-
mens were 14 in. (356 mm) long. Each WT was modeled
with four vertical columns of bolts, two at 5-in. (127-mm)
gage and two at 11-in. (279-mm) gage. These parameters
provide a reasonable configuration for attachment to large
W14 column sections, which are commonly used in seismic
moment frames.

Finite element analysis of the WT sections was performed
using the FEA program Abaqus (Version 6.8-1). Through
the progression of modeling phases, model complexity in-
creased while configurations exhibiting desired behavior
were also refined. The first phase of modeling involved

WT7x66_11
ODB: WT7x66_11.0db Abaqus/Standard Version 6.8-1 Fri May 22 12:35:46 Mountain Daylight Time 2009

81 configurations consisting substantially of the least-weight
and greatest-weight sections in each wide flange size group.
Bolt gages of 4, 6 and 11 in. (102, 152 and 279 mm, respec-
tively) were modeled sparingly to encapsulate a large range
in proportionality of bolt gage to WT flange thickness. Sev-
eral modeling simplifications were implemented in the first
phase. For example, uniform 2-in. (51-mm)-diameter bolt
heads/nuts were used for all models consistent with 1-in.
(25-mm)-diameter ASTM A325 or ASTM A490 bolts. Sim-
ilarly, a uniform radius of the fillet between the WT stem
and flange of 0.5 in. (13 mm) was assumed for all sections.
Bolt heads/nuts were not included in the model but were
simulated with a round surface boundary condition fixed in
translation out of the plane of the WT flange. The surface
between the WT flange and rigid support plate behind the
WT was modeled as frictionless. Furthermore, the simulated
bolt head boundary conditions were allowed to translate ver-
tically in the plane of the WT flange to negate the influence
of any axial strut action of the WT flange. Friction and strut
action were considered in later analyses once the behavior
was better understood.

The WT material for the first phase was simulated as
elastic perfectly plastic. The yield stress used within the
model was 60.5 ksi (417 MPa). This yield stress was the
result of assuming ASTM AS572 Grade 50 or ASTM A992
steel with a 50-ksi (345-MPa) minimum yield strength
multiplied by a factor of 1.1, corresponding to the expected

Fig. 4. Stress plot and deformed shape for phase 1 model.
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Table 1. WT Sections for Finite Element Analysis (Phase 5)
Section Ga.ge on WT, Bol.t Diameter, Section Bol.t Diameter, Ga.ge on WT,

in. (mm) in. (mm) in. (mm) in. (mm)
WT20x99.5 12 (305) 1.25(32) WT7x72.5 11.75 (298) 1.375(35)
WT18x115.5 12.5(318) 1.375(35) WT7x66 11.25 (286) 1.25(32)
WT18x67.5 9 (229) 1.125 (29) WT7x60 10.75 (273) 1.125 (29)
WT16.5x110.5 12.25(311) 1.375 (35) WT7x54.5 10.5 (267) 1.125 (29)
WT16.5x100.5 2 (305) 1.375(35) WT7x49.5 0 (254) 1(25)
WT15x86.5 11.5(292) 1.375(35) WT7x45 9.75 (248) 1(25)
WT13.5x73 10.75 (273) 1.25(32) WT6x39.5 .5 (241) 1(25)
WT12x52 9.25 (235) 1(25) WT6x36 9 (229) 1(25)
WT7x79.5 2 (305) 1.375(35) WT6x32.5 8.5(216) 0.875 (22)

yield overstrength factor, Ry, defined in Equation 2. The dp = diameter of the bolt, which is approximately the ra-

aforementioned overstrength factor, ®, was taken as 1.1 to
account for strain hardening consistent with other seismic
systems outlined in the 2005 AISC Seismic Provisions. A
stress at first yield, which included the strain-hardening
factor, was assumed to simplify the model and, hopefully,
to result in a conservative yield force that might offset omit-
ting the aforementioned friction and axial. Because of the
unpredictability and assumed minimal influence of residual
stresses on the expected available strength of the WT con-
nections, residual stresses were not considered within the
models. An example of a deformed model from the first
phase is shown in Figure 4.

The second, third and fourth phases of modeling involved
progressive increases in complexity, refinement of geomet-
ric parameters resulting in a configuration exhibiting desir-
able behavior, and development of equations for a bi-linear
model to predict load-deformation behavior. The fifth phase
involved all 18 configurations that met the geometric pro-
visions and strength requirements resulting from the prior
phases. Two geometric limits were developed as a result of
the experimental testing. The geometric parameter required
to ensure flange yielding occurs prior to stem yielding is

*

}\'WT ZTISI 2 114
h 3)
where
b = %—kl—db,in. (mm) @)

g = bolt gage on the WT flange, in. (mm)

k1 = distance from the centerline of the WT cross-
section to the toe of the fillet on the WT flange,
in. (mm)
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dius of a standard washer, in. (mm)
tgy = thickness of the WT stem, in. (mm)

The geometric parameter required to ensure stem yielding
does not initiate, or is minimized, at large deformations is

b* 2175 in. (44 mm) 5)

The sections analyzed in the fifth phase of modeling
are presented in Table 1. Details are outlined in McManus
(2010).

Modeling was consistent with the work performed by
Swanson et al. (2002). Shaft components were modeled to
represent bolts. An enforced translation on the bolt shafts
was imposed in the initial time step to simulate bolt pre-
tension. Oversized holes were modeled in the WT flange to
facilitate erection fit-up by accounting for potential overrun
and underrun in wide flange beams due to standard mill
processes. Oversized holes were also used to allow the WT
flange to translate vertically along the column flange with-
out engaging bearing on the bolts. This was done in an at-
tempt to reduce axial restraint of the flange and to postpone
the formation of axial strut behavior, as well as to postpone
placing significant shear in the bolts. Consistent with the
work performed by Swanson et al., stress-strain points were
used to simulate strain hardening in the material deforma-
tion curves for the WT component, support plate and bolts.
Consistent with 2005 AISC Specification provisions for a
Class A faying surface, a friction coefficient of 0.35 was
used between the back of the bolt head/nut elements and the
front of the WT flange. This friction coefficient was also
used between the back of the WT flange and the front of the
support plate. An example of a deformed model from the
fifth phase of modeling is shown in Figure 5.



By the fifth phase of modeling, the overstrength factor
was adjusted to the following empirical value to account
for effects of material and geometric (axial strut action)
overstrength:

35

w=1.5 3%
bty

©)

The strength predictions calculated using Equation 2 with
the overstrength factor of Equation 6 produced results with
an average error of 8.5% and a maximum error of 16.7%
when compared to the analytical results, which were rela-
tively consistent with the fourth phase of modeling. Because
a relatively simple equation was used to represent complex
behavior, these errors were deemed reasonable. Additional
equations used to define the bi-linear stiffness model
mentioned previously are summarized later in this paper.

DUCTILE WT MOMENT CONNECTION
EXPERIMENTAL TESTING

Test Equipment, Arrangement and Procedure
Various WT specimens were tested in two phases. The first
phase involved testing a variety of sections and param-

eters—some falling outside the geometric parameters de-
veloped as a result of the analytical modeling, and others

WT18x675_9b

falling within the recommended parameters that were ex-
pected to induce flange yielding with little or no stem yield-
ing. The intent of this phase of testing was to validate the
recommended geometric parameters. The second phase
involved sections with configurations matching those from
the fifth phase of analytical modeling. The intent of test-
ing these sections was to verify the expected strength and
stiffness predictions presented later and to verify acceptable
ductility of the assemblies by meeting the cyclic loading
criteria specified in Appendix S of the 2005 AISC Seismic
Provisions. Two WT6x32.5 sections with the same bolt con-
figuration were tested in phase 2 in an effort to demonstrate
repeatable results.

To perform these various tests, a test frame with an actua-
tor rated to produce a 600-kip (2850-kN) compressive force
and 450-kip (2140-kN) tensile force was constructed as
shown in Figure 6. Oversized holes as defined by the 2005
AISC Specification were used in the WT flanges and were
consistent with the analytical models.

The actuator was used to produce deformation-controlled
loading of the WT specimens. A simple, monotonically in-
creasing load was applied to the phase 1 test specimens until
a rupture limit state or the target deformation of 1.775 in.
(45 mm) was achieved for comparison to the analytical mod-
eling results. Phase 2 specimens were tested using a load-
ing sequence consistent with Appendix S in the 2005 AISC
Seismic Provisions. This loading sequence is presented
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Fig. 5. Stress plot and deformed shape for phase 5 model.
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graphically in Figure 7. An intermediate load rate of ap-
proximately 0.2 in. (5 mm) per second was used.

Pressure sensors were present at the top and bottom of the
actuator (each side of the piston). Readings from these sen-
sors were used to calculate the force applied by the actuator.
Relative deflection between the actuator casing and the end
of the actuator shaft was measured using a linear potenti-
ometer. Because this instrument was the least susceptible to
damage during testing and most representative of the over-
all deformation of the WT assembly, data from this sensor
were used to control the actuator. The disadvantage of using
this sensor was that any deformation in the test frame would
also be included in the measurements. As shown in Figure 8,
separation of the WT flange from the support was measured
directly using optical position sensors. These data were in-
tended to be used to assess the portion of total deformation
that occurs in the WT flange and, coupled with the overall
deformation data, to determine that portion of the total de-
formation associated with the WT stem and test frame.

Strain data were taken at the anticipated locations of the
plastic hinges on the WT flange and at the WT stem just past
the toe of the fillet. For phase 2 testing, strain data were also
taken between the anticipated locations of the plastic hinges
on the WT flange as shown in Figure 8.

Experimental Testing Results

The linear approximations developed in the analytical mod-
eling phase incorporated the expected material yield factor,
Ry, in consideration of both yield strength, Py, and prob-
able strength at the maximum considered deformation, Pp;,
which were used to approximate the inelastic stiffness. In
evaluating the experimental test data, it was recognized that
using the expected yield factor likely overpredicted the in-
elastic portion of the curve, which would be unconservative
for collapse analysis of a building frame. Consequently, it
was determined the bi-linear curve should be based on the
minimum specified material yield strength, Fy, to approxi-
mate stiffness for modeling purposes and that the expected
yield factor, Ry, should only be used to determine a maxi-
mum probable strength for the design of connection limit
states and primary members. To produce a direct compari-
son, the experimental test results were compared to bi-linear
curves and maximum strength equations based on the mini-
mum yield strength with no expected yield factor.
Additionally, the actual yield strength from coupon tests
was considered in developing the bi-linear curves. Com-
parisons to the experimental data using the material yield
strength from the coupon tests indicated the bi-linear curves
overestimated the yield load, and, correspondingly, over-
estimated the load at the target deformation. In an effort
to produce a conservative probable strength throughout the
analytical modeling, the width of the WT flange tributary
to each bolt, p, was taken as the maximum spacing of 5 in.
(127 mm) between any two bolts. Based on comparisons to
the experimental results, it was determined that adjusting
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Fig. 7. Load function for testing phase 2.



the tributary width to 4.5 in. (114 mm) improved the correla-
tions and was more appropriate. The bi-linear curves and
comparisons to experimental data presented hereafter are
based on the use of a tributary width p =4.5 in (114 mm).

The stiffness associated with the elastic portion of the ex-
perimental curves was determined in accordance with the
recommendations of the FEM A P695 report, “Quantification
of Building Seismic Performance Factors” (FEMA, 2009).
The stiffness is determined by striking a line from the ori-
gin of the load deformation curve through the experimen-
tal value corresponding to 40% of the yield strength, which
for this research was taken as the theoretical yield strength,
Py. Correlations over the elastic portions of the curve for all
test phases were drawn based on the data from the origin
through the values at 0.4Py. Because the inelastic data vary
significantly among testing phases, particularly when con-
sidering the cyclic data from phase 2, comparisons of the
data over the inelastic portions of the curve are discussed in
the following sections.

Phase 1 Experimental Testing Results

The difference between overall deformation and the defor-
mation at the WT flange was assessed in phase 1 of testing.
The WT13.5%73 and WT7x45 sections met the recom-
mended geometric provisions determined from the analyti-
cal modeling, while the remaining sections did not meet
these geometric criteria. For the WT13.5x73 and WT7x45
sections, deformation at the WT flange was 78 and 80% of
the overall deformation, respectively, indicating that the ma-
jority of the deformation occurred in the flange and flange
bolts, as expected. For the remaining sections, the deforma-
tion at the WT flange ranged from 45 to 65%, with an av-
erage value of 54% of the overall deformation, indicating
considerably more deformation was attributed to sources
outside the WT flange assembly.

Because the deformation from all sources outside the
WT flange assembly was relatively small for configurations

OFPTICAL
POSITION
SENSOR

EACH END

STRAIN

LINEAR POT GAUGE

BETWEEN
BOLTS
EACH SIDE

Fig. 8. Phase 2 specimen instrumentation diagram.

meeting the recommended geometric criteria, correlations
with the linear approximation equations were made to the
overall deformations. Considering overall deformations
rather than only deformation in the WT flange results in
a more conservative stiffness estimate used to validate the
recommended provisions.

Overall correlations for the phase 1 data could be calcu-
lated directly because of the monotonic nature of the tests.
As summarized in Table 2, the monotonic test data from
the two sections that met the recommended geometric crite-
ria correlated well with the linear approximations that were
derived from the analytical modeling. The results produced
a minimum correlation coefficient of 0.96 over the elastic
portion of the curve and an average overall correlation coef-
ficient of 0.97. The final deformed shape of the WT13.5x73
specimen is shown in Figure 9.

Conversely, the average correlation coefficients for the
remaining sections that did not meet the recommended
geometric provisions were 0.80 and 0.81 for the elastic por-
tions of the curves and overall curves, respectively. More
telling are the comparisons of the experimental maximum
load to the corresponding theoretical load determined us-
ing the linear approximation equations. For the two sections
meeting the recommended geometric provisions, the aver-
age percent error between the maximum experimental and
theoretical loads is 3.0%, while the average percent error
for the remaining sections is 71.1%. Example comparisons
of the approximated and experimental load-deformation
curves for one section meeting and one section not meeting
the recommended geometric provisions are shown in Fig-
ures 10 and 11, respectively. Material test data from cou-
pon tests were not acquired for the sections not meeting the
recommended geometric provisions. Therefore, the bi-linear
approximations for these curves were based on an assumed
yield strength, F, = 55 ksi (380 MPa), based on the average
yield strength from the coupon tests of the other specimens.
The result is a recognized potential for error in the bi-linear
models for the sections not meeting the recommended geo-
metric provisions, which is likely not more than 10% and
has little effect on the conclusions drawn.

The tests of the WT18x75, WT9x79 and WT7x79.5 sec-
tions were limited to relatively small deformations because
the capacity of the actuator was reached. The limited num-
ber of data points for the tests of these three sections could
contribute to the poor overall correlations observed. How-
ever, overall correlations were consistent with the elastic
correlations, suggesting that the poor overall correlations
are representative.

The data illustrate that the linear approximation equa-
tions are representative of actual behavior for configura-
tions within the recommended geometric provisions. The
results, however, also verify the complexity of the behavior
of bolted WT sections and indicate that the linear approxi-
mation equations do not adequately simulate behavior for
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configurations that fall outside the recommended geometric
provisions.

The sections for the phase 1 testing were designed prior to
performing the analytical finite element analyses, and, thus,
they were designed before gaining an enhanced understand-
ing of the ultimate strength of the WT configurations. Con-
sequently, the flange bolts were underdesigned for many of
the WT strengths expected at large deformations.

The testing was performed with this deficiency recog-
nized, but taken as an opportunity to challenge the recom-
mended bolt design provisions derived from the analytical
modeling. The bolt designs for the WT18x75, WT9x79 and
WT7x79.5 sections were not challenged because the tests
were terminated at relatively small deformations and associ-
ated bolt stresses. Conversely, two of the flange bolts in the
WT13.5x73 configuration ruptured in a brittle manner at a
deformation very near the maximum deformation. The bolts
were underdesigned by a factor of approximately 2, suggest-
ing that the bolts would not have failed if properly designed.
Therefore, the recommended bolt design provisions appear
reasonable.

Phase |
B33 - WT13.5x73
11" Bolt Gage

Further supporting the validity of the proposed recom-
mendations was the dramatic failure of all eight flange bolts
during the test of the WT16.5x59 section. This section fell
outside the recommended geometric provisions with a ratio
of A7 = 0.88 in lieu of the recommended minimum value
of 1.14, and a value of " of 0.875 in. (22 mm) in lieu of
the recommended value of 1.75 in. (44 mm), which is ap-
proximately equal to Ayger. Additionally, the section was
fabricated with standard holes rather than the recommended
oversized holes, and the flange bolts were underdesigned by
a factor of 2. Bolt failure occurred at an overall deformation
of 1.01 in. (26 mm) and deformation at the WT flange of 0.66
in. (17 mm). These values envelop the b" value of 0.875 in.
(22 mm) and support the theory that a value of b* should be
approximately as large at the maximum anticipated defor-
mation, Aygrger. While data from the bolts themselves are not
available, observation of video footage of the test suggests
the bolts were resisting considerable prying forces, bending
due to rotation of the flange near the nut and possibly shear
because of the use of standard holes.

Perhaps the most important lesson from the test of the

Fig. 9. Deformed phase 1 specimen.
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Table 2. Summary of Experimental Testing Results for Phase 1
Meets Elastic Overall Experl.mental Theoretlca.l .
. X . Maximum Corresponding Error in
Section Recommended | Correlation | Correlation o
Criteria Coefficient | Coefficient Load, Load, Load, %
kips (kN) kips (kN)
WT13.5x73 Yes 0.97 0.94 352 (1566) 361 (1606) 2.6
WT7x45 Yes 0.96 0.97 214 (952) 221 (983) 3.3
WT18x75 No 0.83 0.87 449 (1998) 752 (3346) 67.5
WT16.5x59 No 0.97 0.95 427 (1900) 578 (2572) 35.4
WT9x79 No 0.70 0.72 449 (1998) 954 (4245) 112.7
WT7x79.5 No 0.68 0.69 376 (1673) 634 (2821) 68.6

WT16.5x59 specimen was recognizing that failure in this
manner is entirely unacceptable within an occupied build-
ing. At failure, the bolts and nuts projected from the speci-
men with high velocity sending one nut approximately 20 ft
(6 m) into the air, a condition that could impose considerable
danger to building occupants. The test reaffirms the impor-
tance of adhering to provisions that isolate damage to the
WT section, such as the recommended geometric limita-
tions, use of oversized holes and proper bolt design.

In all cases, data from the strain gauges indicated the max-
imum strains occurred at either the toe of the fillet or near
the bolt line within the WT flange. Strains in the stem of the
WT7x45 sections approached the theoretical yield strain of
0.0017 in./in. (mm/mm), but did not appear to exceed yield.
Stem strains in the WT13.5x73 section exceeded the yield
strain near the maximum deformation and associated flange
strength. The WT18x75, WT9x79 and WT16.5x59 sections
experienced stem envelop strains in excess of theoretical
yield near the end of each respective test. This is significant
in that these tests were terminated at deformations signifi-
cantly less than the target deformation, which suggests stem
yielding would have continued as axial strut action and the
associated increased available strength in the flange were
engaged. Therefore, the recommended geometric provisions
appear to provide a reasonable threshold to minimize stem
strain. The WT7x79.5 did not experience strains in excess
of the theoretical yield strain; this is largely attributed to
cover plating of the stem to avoid a net section failure and
the small overall deformation of 0.34 in. (9 mm), which was
reached before the test was terminated.

Phase 2 Experimental Testing Results

The specimens tested in phase 2 performed reasonably well
under several criteria. The largest full cycle of deformation
at the WT flange and overall deformation (difference be-
tween the peak and trough for each instrument) were com-
pared. The proportion of the deformation at the WT flange
to the overall deformation was consistent and was slightly

improved over phase 1, ranging from 80 to 91% with an
average of 85%. Correlations to the linear approximations
were again drawn to the overall deformation to pursue a con-
servative stiffness.

The actual magnitude achieved by the cyclic-loading
regimen was of paramount concern to assess the low-cycle
fatigue rotational capacity of the proposed connection. Only
the WT13.5x73, WT7x66 and WT7x54.5 sections achieved
cycles at the target deformation of 1.76 in. (45 mm) before
rupture of the flange occurred. Slightly less than one full
cycle was reached during testing of the WT7x54.5 section.
The remaining sections reached an overall measured defor-
mation of 1.38 in. (35 mm) prior to complete cracking across
the WT flange, which corresponds to the set of cycles pro-
ceeding the target deformation cycles.

Deformations within the test frame, however, were ob-
served and accounted for to calculate adjusted overall defor-
mations. The frame deformations and adjustment processes
are discussed in McManus (2010). The minimum adjusted
overall deformation of the specimens tested was 1.08 in. (27
mm), and the average deformation from the specimens that
did not achieve the target deformation was 1.18 in. (30 mm).
Recognizing the target deformation of 1.76 in. (45 mm)
was based on the assumption of a 44-in. (1118-mm)-deep
beam section achieving a rotation of 0.04 rad, ratios of the
minimum and average calculated deformations to the target
deformation result in corresponding beam depths of 27 in.
(686 mm) and 30 in. (762 mm), respectively. Based on this
assessment, it is recommended the proposed WT configura-
tions are appropriate for beam depths up to approximately
30 in. (762 mm), or W30 wide flange sections, and that this
should be the basis for future experimental evaluation of the
system.

A summary of the results for the phase 2 testing is pre-
sented in Table 3. The elastic portion of the load-deformation
curves produced minimum and average correlation coef-
ficients between the experimental data and linear approxi-
mation equations of 0.94 and 0.97, respectively. Because a
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Fig. 10. Example load-deformation plot (section within geometric provisions).
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Fig. 11. Example load-deformation plot (section outside of geometric provisions).
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Table 3. Summary of Experimental Testing Results for Phase 2
Percent Experimental Theoretical
Elastic . P . Corresponding Error in
. . Error in Maximum . .
Section Correlation . Maximum Maximum
.. Inelastic Load,
Coefficient Stiffness. % kips (kN) Load, Load,%
»/0 P kips (kN)

WT18x67.5 0.98 6.7 321 (1428) 341 (1517) 6.3
WT13.5x73 0.98 34.4 423 (1882) 394 (1753) 6.9
WT7x66 0.98 27.3 390 (1736) 396 (1762) 1.4
WT7x60 0.98 21.0 294 (1308) 304 (1353) 3.4
WT7x54.5 0.99 26.3 332 (1477) 325 (1446) 2.3
WT7x45 0.99 9.5 233 (1037) 241 (1072) 3.3
WT6x39.5 0.96 10.2 237 (1055) 257 (1144) 8.3
WT6x32.5-1 0.94 16.6 209 (930) 205 (912) 1.7
WT6x32.5-2 0.98 15.0 205 (912) 204 (908) 0.8

correlation between the inelastic linear approximation and
the cyclic data is difficult to draw, the slope of the inelas-
tic portion of the experimental data was determined using a
point near the yield load and a point near the maximum load
and was compared to the slope of the inelastic linear ap-
proximation equation. The maximum percent error between
the two slopes was 34.4%, with an average percent error of
18.6%. The maximum percent error between the maximum
experimental and theoretical loads was 8.3%, while the av-
erage percent error was 3.8%. These results, coupled with
observation of a reasonable envelop of the experimental
load-deformation data by the linear approximation curve,
suggest the linear approximation equations are appropri-
ate for the range of sections considered. An example load-
deformation comparison is presented in Figure 12. Similar
plots of other specimens are available in McManus (2010).

In general, strains well in excess of yielding were found in
the WT flange at the toe of the fillet, near the bolt line and
between these two locations. Strains at the stem remained
relatively small and were typically below the theoretical
yield strain, with the exception a limited number of peaks
for each test that did occur near the maximum deformation.
The peaks in stem strain may have been more the result of
a buckling mechanism initiating in the compression stroke
than of tensile forces or the result of large bending stresses
in the stem subsequent to fracture of the flange on one side
of web, both of which would explain why the peaks pos-
sessed greater magnitude in the phase 2 tests than were ob-
served in phase 1.

Because all sections in phase 2 met the recommended
geometric provisions, the strain data suggest the provi-
sions reasonably minimize the strains in the WT stem and
isolate damage to the WT flange. The strain gauges had a

maximum strain threshold of 5%. Strains in excess of this
value produced spikes up to this threshold followed by flat
lines at the threshold. Several sections suggested strains at
various locations throughout the flange, while in excess of
yield, were less than 5% and were significantly lower than
the minimum rupture strain of 21% required of ASTM
A992 steel. This suggests the flange failures were more the
result of low-cycle fatigue than of large strains approaching
rupture.

All flange fracture failures occurred at the toe of the fillet
in the WT flange as shown in Figure 13. This failure mecha-
nism could be exacerbated by potentially increased bending
stresses due to rotation of the beam. Thus, testing of beam-
column subassemblies in future work is important to verify
the performance of the WT.

While the toe of the fillet is a known location of residual
stress and associated weakness in the web of wide flange
sections as a result of the mill production and straightening
processes, the testing herein clearly exposes a similar weak
point at the toe of the fillet in the flange as well. Though the
hinge location near the bolt line underwent rotation similar
to that of the location at the toe of the fillet, no failures oc-
curred at the bolt line, nor were the initiation of any signifi-
cant cracks observed. This suggests that larger deformations
could be achieved in WT specimens by using a cast and/or
tempered WT section rather than rolled. Assuming proper
conditions to minimize impurities and grain size, casting a
section from scrap ASTM A992 steel may result in reduced
residual stresses and associated weakness at the toe of the
fillet.

Though the specimens still possessed some load-carrying
capacity after facture on one side of the web, tests were
terminated shortly after such a fracture occurred to avoid
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destruction of the instrumentation and the actuator. There-
fore, full backbone curves were not developed. In other
words, degradation behavior beyond the capping point, or
point of maximum load, was not considered (FEMA, 2009).
For the purposes of analysis, the sections can be conser-
vatively assumed to lose all load-carrying capacity after
a deformation of 1.2 in. (30 mm) is reached, as described
previously.

In all phase 2 specimens, significant yielding, and, ulti-
mately, fracture were isolated to the flange of the WT, re-
sulting in a ductile failure mechanism. The limit states of
flange bolt rupture, stem bolt rupture, stem net section rup-
ture, stem block shear rupture and stem compression buck-
ling did not govern any of the phase 2 tests, which indicates
the recommended strength for the design of these limit states
was adequate. The stem did not appear to be susceptible to
buckling until rupture of the flange occurred, at which point
a significant eccentricity in the stem was created and bend-
ing of the web was observed. Significant lateral translation
of the WT flange was observed at the flange bolt lines in all
tests, which further verifies the need for oversized holes in
the WT flange to avoid restraint and additional shear forces
in the flange bolts.

RECOMMENDED DESIGN PROVISIONS
AND BI-LINEAR MODEL

Recommended design provisions and equations used to
develop the bi-linear model based on the results of the

analytical modeling and experimental testing are as follows.

Oversized holes as defined within Table J3.3 of the 2005
AISC Specification shall be used in the flange of the WT.
Standard holes as defined by the 2005 AISC Specification
shall be used in the flange of the column to which the WT
is connected.

The force in the WT at which initial yield in the WT
flange occurs, Py, is taken as

2
y 3b’

where p is taken as 4.5 in. (114 mm). The force in the WT,
P, at the maximum considered deformation, A, = 1.76 in.
(45 mm), to be used for the purposes of determining inelas-
tic stiffness shall be taken as

Py = 0P, @®)

w=153 2.5 (8a)
bty

The maximum considered deformation corresponds to 0.04
rad of rotation in a nominal 44-in. (1118-mm)-deep beam.

where
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Fig. 12. Example phase 2 load-deformation comparison.
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The maximum probable force in a WT used to design (us-
ing an LRFD approach) the limit states of stem gross yield,
stem net section rupture, stem block shear, stem compres-
sion buckling, stem bolt bearing, stem bolt shear, beam
flange bolt bearing, beam flange block shear, column flange
local bending, column web local yielding, column web crip-
pling and column web panel zone shear may be taken con-
servatively as

P, =RP, ©)

for all nominal beam depths less than or equal to 30 in. (762
mm). Alternatively, the probable force in the WT as a func-
tion of beam depth may be taken as

Aare
Ppr=Ry[(At gtJ(Pw—Py)”y] (10)

max

where Ayrger = d(sin 0) and 0 is the required rotational ca-
pacity of the connection, equal to 0.04 rad.

The bolts connecting the WT flange to the column shall
be proportioned such that

8(B—q)= P, an

where B is the available tension per bolt (equal to ¢r, for
LRFD), and ¢ is the prying force calculated as described in
the 13th edition AISC Manual. Predesigned WT and flange
bolt configurations meeting the required geometric and
strength criteria are provided in Table 4.

The stiffness of the WT connection between the beam
flange and column in the elastic range shall be taken as

Fig. 13. Example phase 2 flange fracture location.

142Ept

e 3g3

(12)

where p is taken as 4.5 in. (114 mm).
The stiffness of the WT connection between the beam
flange and column in the inelastic range shall be taken as

P, (o—1)
Kp=—3— (13)

max

The expected deformation of the WT at which initial yield
occurs, Ay, shall be taken as

A By (14)
y Ke

The load, P, in the WT assembly as a function of deforma-
tion, A, of the WT assembly to be used to calculate the end
rotation of the beam is given as

For A <Ay, P=K.A (15)
For A> A, P=Py+K,A (16)

The stiffness model of the WT assembly is presented in
graphical form in Figure 14.

CONCLUSIONS

The following primary conclusions were drawn from the ex-
perimental testing.

1. With proper proportioning of WT flange thickness,
flange bolt size, WT flange hole size and gage of the
flange bolts on the WT, WT moment connections can
be detailed in which inelastic deformations are sub-
stantially limited to the flange of the WT under large
deformations.

2. Improper proportions of the WT flange thickness,
flange bolt size, WT flange hole size and gage of the
flange bolts on the WT can result in sudden flange bolt
failures that could be harmful to the building or its
occupants.

3. The geometric criteria presented herein are appropri-
ate to ensure inelastic deformations are substantially
isolated to the flange of the WT sections up to an over-
all target deformation of the WT of 1.75 in. (45 mm).

4. The bi-linear approximation equations recommended
herein are appropriate representations of the ac-
tual load-deformation characteristics of the WT
configurations considered.
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Table 4. Predesigned WT and Flange Bolt Configurations
Section Ga.ge on WT, Bol.t Diameter, Section Ga.ge on WT, Bol.t Diameter,

in. (mm) in. (mm) in. (mm) in. (mm)
WT20x99.5 12 (305) 1.25(32) WT7x72.5 11.75 (298) 1.375(35)
WT18x115.5 12.5(318) 1.375(35) WT7x66 11.25 (286) 1.25(32)
WT18x67.5 9 (229) 1.125 (29) WT7x60 10.75 (273) 1.125 (29)
WT16.5x110.5 12.25(311) 1.375 (35) WT7x54.5 10.5 (267) 1.125 (29)
WT16.5x100.5 2 (305) 1.375(35) WT7x49.5 0 (254) 1(25)
WT15x86.5 11.5(292) 1.375(35) WT7x45 9.75 (248) 1(25)
WT13.5x73 10.75 (273) 1.25(32) WT6x39.5 .5 (241) 1(25)
WT12x52 9.25 (235) 1(25) WT6x36 9 (229) 1(25)
WT7x79.5 2 (305) 1.375(35) WT6x32.5 8.5(216) 0.875 (22)

5. The bi-linear approximation discussed in item 4 is the capacity of the WT connection if designed using

only appropriate for WT configurations meeting the
recommended geometric criteria presented.

To achieve a joint rotation of 0.04 rad, the maximum
nominal beam depth recommended for use with the
WT configurations assessed is 30 in. (762 mm), or a
W30 wide flange section.

The limit states of flange bolt rupture, stem bolt
rupture, stem net section rupture, stem block shear

an AISC LRFD approach to develop the probable
strength as determined herein.

Experimental testing of beam-column subassemblies
using ductile WT connection configurations rec-
ommended in Part I should be performed to verify
adequate strength and rotational flexibility of bolted-
bolted double angle shear connections and to verify
the elastic and inelastic rotational stiffness of the
connections.

rupture and stem compression buckling do not govern

Load

Deformation T

Fig. 14. Bi-linear WT component stiffness.
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